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a b s t r a c t
The use of HSLA steels for the manufacture of automotive components is interesting from an engineering
point of view. This family of steels, while possessing high strength, also has good formability and can be
used in forming manufacturing processes. In some forming processes such as blanking, shear strain local-
ization occurs, which causes damage and results in the final fracture of the material. This paper presents
an experimental study based on in situ tests to understand and identify the physical mechanisms of duc-
tile damage under two stress states: tension and shear. Different macroscopic tests were performed to
calibrate a damage model based on a micromechanical approach. This damage model is based on the Gur-
son–Tvergaard–Needleman theory and presents recent improvements proposed by Nahshon and Hutch-
inson and by Nielsen and Tvergaard so as to better predict fracture under a wide range of stress states,
especially with low levels of stress triaxiality. These extensions have made the identification of the mate-
rial parameter more complicated. In this work an identification strategy has been proposed using tests on
specimens with different shapes. The identified parameter values are validated and the fracture model
show good predictive capability over a wide stress state range.
Ó 2013 Elsevier Ltd. All rights reserved.
1. Introduction
Ductile fracture is a phenomenon that can be described by
micromechanical analyses based on the evolution of micro-cavities
using a local approach to fracture [1,2]. Alternatively, ductile frac-
ture has also been modeled within a thermodynamics framework
using the theory of continuous damage mechanics [3,4]. Modifica-
tions to the original models have since been proposed in order to
improve their predictive capacity in areas such as the loss of mate-
rial rigidity and the prediction of fracture. These modifications
have been made by including additional effects in the constitutive
formulation or in the damage evolution law, such as: the effect of
the hydrostatic pressure, the temperature, viscoplasticity and the
influence of crack closing [5–7].
Diverse strategies combining elasto-plastic constitutive models
including rupture criteria have also been developed. Indicators of
rupture have been proposed such as: the Rice and Tracey criterion
[8] based on the growth of defects and the criterion proposed by
Cockcroft and Latham [9] based on a void growth mechanism con-
trolled by the principal stress. These decoupled approaches have
been adopted thanks to their simple formulation and identification
procedures. The development of rupture criteria based on continu-
ous damage mechanics has also been undertaken by several
authors [3,10]. Stoughton and Yoon [11] proposed a new rupture
approach based on the maximum shear stress. Their objective
was to develop a fracture criterion suitable for sheet metal forming
processes, which takes into account both necking and rupture.
Recently, several studies [12–21] have shown that the Lode an-
gle, associated with the third invariant of the deviatoric stress ten-
sor, is an essential parameter in ductile fracture. It characterizes
the effect of the stress state on plastic flow and the ductile rupture
of the material. Bai and Wierzbicki [21] have proposed a three-
dimensional fracture criterion described by the equivalent strain,
the stress triaxiality and the Lode angle. This fracture surface
makes it possible to differentiate between materials that are
weakly or strongly dependent on the hydrostatic pressure and
the Lode angle. Mirone and Corallo [23] have undertaken a local
study to evaluate the influence of stress triaxiality and the Lode an-
gle on ductile fracture, by analyzing the Tresca criterion and two
models proposed by Wierzbicki. They have also shown that the
relationship between the plastic deformation, the level of stress
triaxiality and the Lode angle results in a fairly good prediction
of ductile fracture. Gao et al. [24] have proposed a new elasto-plas-
tic model which is a function of the hydrostatic pressure and the
second and third invariants of the stress deviator. Experiments per-
formed on specimens with a high level of triaxiality show the in-
ter-dependence between the plastic flow mode, the level of
stress triaxiality and the Lode angle.
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Despite the large volume of work devoted to understanding the
phenomenon of ductile rupture and the formulation of constitutive
models, their application to forming processes is complicate and
can result in significant prediction errors. The first steps in using
these approaches is to establish their domains of validity and to
identify the model parameters under loading conditions similar
to those seen in the forming process being investigated. This is cru-
cial to ensure a realistic interpretation of the ductile fracture
modes.
The focus of this work is on recently developed micromechani-
cal ductile rupture models which include the effect of different
stress states in their characterization and which deal with the
damage induced via shear loads. A major limitation of models
based on the Gurson [22] model is related to the fact that shear ef-
fects are not taken into account in the constitutive formulation.
This therefore excludes the possibility of predicting shear localiza-
tion and fracture under conditions of low stress triaxiality. Under
shear dominated loading conditions, distortion of voids and the
material between adjacent voids or cavities plays a crucial role in
the evolution of the internal degradation of the material. In order
to improve the predictive ability of the Gurson–Tvergaard–Needle-
man (GTN) model, under low levels of stress triaxiality, Nahshon
and Hutchinson [25] and Nielsen and Tvergaard [26] have pro-
posed further improvements to the classical GTN mode. These
authors have introduced an additional term in the void evolution
law to predict the accumulation of damage under a wide range
of stress states, including shear loading.
The aim of this study is to identify the physical damage mech-
anisms under different stress states, through micro/macro experi-
mental analyses, and to propose a strategy for the identification
of optimized material parameters that cover a large range of load-
ing conditions.
2. Experimental study
An experimental description of the material investigated in this
work is presented below. This is based on microscopic observations
performed to identify the physical damage mechanisms for two
different loading conditions (tension and shear). Mechanical tests
at different stress levels are also performed to study the sensitivity
of the material damage to the different loading modes.
2.1. The material
The material investigated in this study is a High-Strength Low-
Alloy steel (HSLA) used to manufacture automotive safety belt an-
chors. The semi-finished material is received in the form of coiled
metal strips with a standard thickness of 3.55 mm. Its chemical
composition is given in Table 1. Microstructural analyzes are car-
ried out using a Scanning Electron Microscope (SEM) in the three
orthogonal planes of the plate (see Fig. 1a). The microstructure
shown in Fig. 1b is composed of a ferritic matrix showing traces
of cementite at the grain boundaries. These traces occupy about
2% of the analyzed surface and are not homogeneously distributed.
The grains have an almost identical structure in all three planes.
2.2. Microscopic analysis of inclusions
Microscopic analyzes on three orthogonal material planes
(Fig. 1a) have been performed using a Scanning Electronic Micro-
scope (SEM). Spectrometric analysis using Energy Dispersive Spec-
trometry (EDS) are also done to characterize the various inclusions
found in the material. The analyzed surface area on each plane is
approximately 40 mm2. The aim was to determine the chemical
compositions of the various inclusions.
The inclusions were classified into three main categories:
 Oxides: FeO, Al2O3 and other ‘‘complex’’ inclusions, such as:
CaO–Al2O3, MgO–Al2O3, FeO, CaO, and MgO–Al2O3–CaO.
 Sulfides: FeS–CaS.
 Oxysulfides: Al2O3–CaS, and CaO–CaS.
Fig. 2 shows several inclusion types found in the material. Most
of the inclusions observed are elongated or circular in shape. Their
average size (diameter or length) is between 3 and 8 lm. The min-
imum size is about 1.2 lm and the maximum size is approximately
12 lm. A measurement technique based on the automatic process-
ing of SEM images was used to estimate the volume fraction of
inclusions. An area of approximately 40 mm2 was scanned for each
plane. Around thirty images are processed for each surface, in or-
der to calculate the surface area of the inclusions, Si, and the total
surface area scanned, ST. If a random distribution of inclusions is
assumed, it is possible to estimate the volume fraction of inclu-
Table 1
Chemical composition of the HSLA steel investigated.
Elements C (%max) Mn (%max) Si (%max) P (%max) S (%max) Al (%max) Nb (%max) V (%max) Ti (%max)
Value 0.12 1.70 0.50 0.025 0.015 0.015 0.09 0.20 0.15
Fig. 1. Microstructure of the material: (a) planes investigated in the microstructural
analysis, (b) microstructure of the material for the R–Th plane.
sions VI by assuming that it is equivalent to the surface fraction SI
[27].
V I ¼ SI ¼ Si
ST
ð1Þ
Table 2 summarizes the inclusion volume fraction determined
for the three orthogonal planes of the material.
2.3. Microscopic characterization of ductile fracture mechanisms
Ductile damage mechanisms are generally attributed to the ini-
tiation and growth of micro-defects, which are usually associated
with the degradation of macroscopic properties. Micro-cracks
and micro-cavities are two major defects in this material. Nucle-
ation, growth and coalescence of these micro-defects are the clas-
sically observed damage mechanisms associated with ductile
rupture.
In order to observe the evolution of the microstructure and
identify the mechanisms of ductile rupture, in situ tensile tests in
a SEM have been carried with two different specimen geometries.
These geometries are chosen to achieve two different stress states.
Fig. 3a shows the two specimen geometries used. These specimens
are designed so as to obtain in their zones of interest:
 A high level of stress triaxiality in a tensile stress state.
 Low stress triaxiality due to a shear dominated stress state.
The specimens were machined by wire Electro Discharge
Machining (EDM) and have been ground on both sides to obtain
a thickness of exactly 2 mm. Loading to failure has been performed
using a test device located inside the SEM. Setup and synchroniza-
tion test have been performed using the software MicrotestÒ.
2.3.1. Specimen 1 – tensile stress state
Three specimens were tested in order to analyze the ductile
rupture process in a tensile stress state with high stress triaxiality.
Fig. 4 shows the evolution of the necking phenomenon during
loading of one of the three specimens. The increasing tensile load
results in an increase of the edge radius in the test section of the
Fig. 2. Examples of inclusions found in the material: (a) oxide (FeO), (b) oxide compounds (MgO–Al2O3), (c) sulfide compounds (FeS–CaS) and (d) oxysulfide (Al2O3–CaS).
Table 2
Volume fraction of inclusions for the three orthogonal planes analyzed.
Surface Volume fraction of inclusions, VI Average
R–T 0.0017 0.0015
R–Th 0.0014
T–Th 0.0015
Fig. 3. Specimen geometries for: (a) in situ specimens and (b) macroscopic
specimens.
Fig. 4. Evolution of the necking zone for the in situ tensile tests: (a) just before the necking, (b) the beginning of necking, (c) just prior the fracture and (d) after fracture.
Fig. 5. Void evolution around an inclusion during an in situ tensile test.
specimen (Fig. 4a). When the load reaches its maximum value,
necking appears in the central area of the specimen (Fig. 4b). From
this point on, damage accumulates and localizes causing a reduc-
tion in thickness (Fig. 4c). Failure finally occurs. The failure surface
has a typical ductile rupture profile for a tensile stress state
(Fig. 4d).
Fig. 5 shows an example of void evolution around an oxide
inclusion (MgO–Al2O3). It is positioned in the necking region,
where the level of stress triaxiality is a maximum. The series of
micrographs shown in Fig. 5 were taken at different strain levels.
The incompatibility between the mechanical properties of the
matrix material and the inclusion results in the initiation of voids
by debonding between the two phases (Fig. 5a). Their growth oc-
curs in a progressive manner in an ellipsoid form, elongated in
the loading direction (Fig. 5b–f). This growth increase continu-
ously, with the creation of slip bands and micro-cracks in the
matrix (Fig. 6), to a critical level at which the interaction of the
cavities leads to the deterioration of the material. This stage corre-
sponds to the mechanism of void coalescence, which is difficult to
observe due to the speed at which it occurs.
2.3.2. Specimen 2 – shear dominated stress state
 Evolution of the shear zone:
Fig. 7 shows the evolution of the shear zone during loading. The
creation of a shear zone between the two notches can be observed
(Fig. 7a). High stresses are located along this zone, which can be
characterized by a reduction in thickness. Cracks initiate at the
edge of the notch (Fig. 7b) and propagate along the zone until com-
plete fracture of the specimen (Fig. 7c). The rounded area on the
edge is typical of fiber reorientation in the two shear directions,
thereby creating a burr caused by stretching of the material.
 Evolution of the matrix:
Fig. 8 shows an example of micro-cracks in the matrix. The cre-
ation of shear bands as a result of strain localization causes the
appearance of micro-cracks which extend in the shear directions
and form voids in the matrix.
 Evolution of cavities:
The series of micrographs shown in Fig. 9 demonstrate the evo-
lution (based on the percentage of displacement at fracture) of
three voids around three inclusions as a function of load level.
These are positioned in two different zones (Fig. 9a). The inclusions
located near line 1 are more highly solicited in shear compared to
those positioned close to line 2.
Before loading (Fig. 9b at 0% displacement at fracture), the
inclusions are coherent with the matrix material. Following the on-
set of deformation due to loading, the difference in stiffness at the
matrix/inclusion interfaces, results in stress concentrations, which
act as germination sites for voids by debonding between the matrix
and inclusions (Fig. 9b at 88%). A second mechanism for cavity
nucleation can be seen at line 2. It is characterized by the fragmen-
tation of inclusions and does not involve the debonding mecha-
nism (Fig. 9d). Some inclusions located near line 1 underwent a
combination of these two mechanisms: debonding and fragmenta-
tion as shown in Fig. 9c. The growth of voids is controlled by plastic
flow which causes hardening of the matrix around the inclusions.
The growth is not uniform and depends strongly on the stress state
and the shape of the voids, which is different from that observed in
tension. Some voids tend to grow in both shear directions, forming
angular points or ‘‘corners’’. Deformed voids also undergo a rota-
tion that depends on the loading level. When the material between
two voids is small enough, interactions between the voids occur.
Plastic flow in the material between the voids then generates a
shear fracture of the material. The acceleration in the evolution
of the void volume fraction, which characterizes the coalescence
stage, is associated with the initiation of a macroscopic crack at
the notch of the specimen (Fig. 7). The propagation of the macro-
scopic crack along the shear zone leads to the complete fracture
of the specimen.
2.4. Macroscopic tests
Mechanical tests with different specimen shape have been per-
formed to characterize the effects of stress state on damage evolu-
tion and the ductile rupture mode. Six series of tests have been
carried out.
2.4.1. Tensile tests
Tensile tests were undertaken on both notched and un-notched
(Fig. 3b) specimen with rectangular cross-sections. The loading
axis of the specimens is parallel to the sheet rolling direction. Four
notch radii have been tested: R = 20 mm, R = 10 mm, R = 5 mm and
R = 2 mm. All tests have been carried out on an INSTRON 8801
hydraulic testing machine with maximum load capacity of
100 kN. The tests were performed in displacement control at a con-
stant speed of 0.5 mm/min. An extensometer with an initial length
of l0 = 25 mm was used (except for the R = 2 mm notched speci-
mens, for which an initial extensometer length of l0 = 12.5 mm
was used). For each configuration, four tests were done. The dis-
placement measurement error at fracture is approximately 2% for
each specimen type. The engineering stress–strain curves are
determined via the usual relationships, whereby the engineering
stress is reng = F/S0 and the engineering strain is eeng = Dl/l0, where
S0 is the initial cross-sectional area of the specimen.
Fig. 6. Damage to the material matrix during in situ tensile tests (at 75%
displacement at fracture).
The mechanical properties obtained from averaging the four
tests are summarized in Table 3. This material is characterized
by an elongation at fracture that is relatively high and significant
necking.
Note: For reasons of confidentiality, imposed by our industrial
partner, the results given below have been normalized by the max-
imum values of each variable (stress, strain, force, displacement,
etc.).
Fig. 10 shows the normalized force–displacement curves deter-
mined from tensile tests on notched specimens. Three experimen-
tal parameters can be identified from these experiments: the
displacement at fracture dr, the maximum force Fmax and the frac-
ture strain given by:
er ¼ ln S0
Sr
 
ð2Þ
where S0 is the initial cross-sectional area of the specimen and Sr is
the final cross-sectional area at fracture, which is measured post-
mortem using an SEM.
The value of displacement at fracture, which corresponds to the
appearance of the first macroscopic crack, is assumed to be associ-
ated with the start of the rapid drop in the force–displacement
curve. Table 4 summarizes the normalized values of the parame-
ters determined experimentally by tensile tests on notched
specimens.
It can be seen that an increase in the notch radius results in an
increase in the fracture displacement dr and the rupture strain, er . It
also causes a decrease in the maximum force Fmax.
2.4.2. Shear tests
Shear tests result in zero or very low hydrostatic stress com-
pared to the equivalent stress in the fracture zones. In order to
study the effect of the stress state for low stress triaxiality, a new
test configuration, shown in Fig. 3b, has been developed. Prelimin-
ary numerical simulations were performed so as to determine a
specimen shape that results in shear band localization in the center
of the specimen where the stress triaxiality is close to zero.
These new shear specimens were tested on a Zwick Z100 tensile
testing machine, equipped with an extensometer with an initial
length of 40 mm. Three specimens have been tested with a cross-
head speed of 0.5 mm/min. The measurement error of the displace-
ment at fracture is about 1.7%.
2.5. Fractographic analysis
Fig. 11 shows micrographic images of the fracture surface of
tested specimens. It can be seen that on a microscopic scale differ-
ent rupture morphologies occur in the central area of the
specimen.
Fig. 11a shows the failure surface of an un-notched specimen
with a rough appearance given by the presence of ductile dimples
and micro-voids. This type of morphology occurs in an area limited
to the center of the specimen and is typical of ductile tearing.
A second failure mode occurs in the zone referred to as the
‘‘ductile lips’’. These zones are characterized by a surface which
is less rough and are located near the edges of the fracture surface.
This fracture mode, which corresponds to a zone of shear strain
localization, is associated with voids oriented at 45° which corre-
spond to the plane of maximum shear stress.
Fig. 7. Evolution of the shear zone for in situ specimens loaded to rupture.
Fig. 8. Evolution of the material matrix during in situ shear tests.
For notched specimens with a notch radius of R = 20 mm
(Fig. 11b), the distribution of ductile dimples around the micro-
cracks is more obvious compared to the shear fracture plane. The
ductile dimples around the micro-cracks are more numerous and
closely spaced compared to the smooth tensile specimens.
Fig. 11c shows the fracture surface of a notched specimen with
a radius of R = 2 mm. It can be seen that a crack occurs in the center
of the fracture surface accompanied by a greater distribution of the
ductile dimples. In contrast, the effects of shear fracture are less
sensitive than for the smooth specimens or notched specimens
with R = 20 mm.
Fig. 9. The evolution of the void nucleation and elongation mechanisms as a function of strain in the shear zone: (a) the location of the inclusions investigated, (b) void
nucleation by debonding in the zone defined by line 1, (c) void nucleation by debonding and fragmentation in the zone defined by line 1 and (d) void nucleation by
fragmentation in the zone defined by line 2.
Table 3
Mechanical properties of the material.
Propriety E (GPa) rY (MPa) rUTS (MPa) Ar (%)
Value 210 580 700 22
Fig. 10. Normalized force–displacement curves for tensile tests on notched
specimens.
For the shear test, shown in Fig. 11d, only a few, very small duc-
tile dimples can be seen on the fracture surface (of size close to
zero). Those that can be seen are oriented in the direction of the
smooth shear fracture surface.
This variety in the morphology of the fracture surfaces is due to
the influence of the stress state on the fracture mode. An increase
in stress triaxiality (i.e. notched specimens with R = 2 mm) causes
an increase in the percentage of ductile dimples in the central area
of the fracture surface, which promotes crack initiation. A decrease
in the stress triaxiality (i.e. shear specimens and smooth tensile
specimens) favors the creation of ductile dimples oriented in the
direction of the shear plane and result in ductile fracture by shear.
These observations confirm that the volume fraction of voids (or
ductile dimples) f estimated by analyzing the microstructure and
morphology of fracture surface is a good indicator of the failure
mode. It also highlights that void evolution is sensitive to the stress
state and the equivalent plastic strain, as other authors have re-
ported [28].
2.6. Conclusion
The following conclusions can be made from the experimental
study presented above:
 Microscopically: the in situ tests highlighted a remarkable dif-
ference between the physical damage mechanisms observed
when the material is subjected to tensile and shear stress states.
For tensile loads, the ductile damage process is essentially
based on the nucleation and growth of ellipsoid voids oriented
in the loading directions. For shear loads, the damage mecha-
nisms are based on the fragmentation and/or the debonding
of inclusions from the matrix, followed by the elongation and
rotation of the voids. For the two loading types, the void coales-
cence mechanism is defined by the interaction between micro-
defects (i.e. the interaction between multiple voids and/or voids
and micro-cracks).
 Macroscopically: mechanical tensile tests (on both smooth and
notched specimens) and shear tests have been used to deter-
mine, for each configuration, the effect of stress state on the
fracture strain. Indeed, high stress triaxiality is associated with
a decrease in the fracture strain (or the displacement at
fracture).
 Fractographic analysis of the fracture surfaces has shown that
the stress state also has an influence on the fracture surface
morphology and the fracture mode.
Table 4
Tensile properties of the notched specimens.
R = 2 mm R = 5 mm R = 10 mm R = 20 mm
dr (normalized) 0.63 0.73 0.86 1
Fmax (normalized) 1 0.95 0.93 0.89
er (normalized) 0.69 0.74 0.89 1
Fig. 11. Sem images of the failure surfaces of macroscopic specimens: (a) a smooth tensile specimen, (b) a notched tensile specimen (R = 20 mm), (c) a notched tensile
specimen (R = 2 mm) and (d) a shear specimen.
The experimental data from these tests will be used in the fol-
lowing sections to identify and calibrate the constitutive parame-
ters of the material.
3. Numerical modeling of ductile damage
3.1. Constitutive equations
3.1.1. The Gurson–Tvergaard–Needleman model
In 1977, Gurson [22] proposed a yield surface based on the
growth of spherical voids. This model is commonly used to de-
scribe the evolution of micromechanical damage in ductile materi-
als. In 1984, Tvergaard and Needleman [5] modified the Gurson
model by introducing two additional material parameters (q1 and
q2).
Yield surface proposed by Gurson–Tvergaard–Needleman (GTN)
has the following form:
U ¼ q
r0
 2
þ 2q1f  cosh ÿ
3q2p
2r0
 
ÿ ð1þ q21f 2Þ ¼ 0 ð3Þ
where r0 is the flow stress of the material, q ¼
ﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃﬃð3=2Þs : sp is the von
Mises equivalent stress with s is the deviatoric stress tensor and
p = ÿtrace(r)/3 is the hydrostatic stress. fis the effective void vol-
ume fraction used to simulate the void coalescence (f⁄ = f⁄(f)), where
f is the void volume fraction proposed by Gurson [22].
f  ¼
f for f  fc
fc þ ðf ÿ fcÞ fuÿfcffÿfc for f > fc
(
ð4Þ
fc is the critical void volume fraction associated with the void coa-
lescence phase, fu ¼ 1=q1 is the ultimate void volume fraction and
ff represent the void volume fraction at fracture.
The evolution of the total void volume fraction is given by:
_f ¼ _f growth þ _f nucleation ð5Þ
The void growth rate is defined a function of the plastic strain
rate, and takes the following form:
_f growth ¼ ð1ÿ f Þtrð _epÞ ð6Þ
_ep is the plastic strain rate tensor.
The second quantity, in Eq. (5), takes into account void nucle-
ation and can be written as:
_f nucleation ¼ A _ep ð7Þ
Nucleation of new cavities is taken to be governed by a normal
distribution as suggested by Chu and Needleman [30], so that the
coefficient A in Eq. (7) takes the form:
A ¼
fN
SN
ﬃﬃﬃﬃ
2p
p exp ÿ 1
2
epÿeN
SN
 2 
for pP 0
0 for p < 0
8<
: ð8Þ
where fN is the quantity of voids nucleated per unit volume, eN is the
nucleation strain and SN is corresponding standard deviation.
For low stress triaxiality (g = ÿp/q), the Gurson model is unable
to predict the void growth rate. This issue is the subject of a recent
modification of the GTN model, proposed by Nahshon and Hutch-
inson [25]. This modification introduces a phenomenological term
that models the distortion and reorientation of voids dominated by
shear stresses. This phenomenon was observed and discussed in
Section 2.3.2.
3.1.2. Modified GTN model in shear loading
The new expression introduced by Nahshon and Hutchinson
[25] is:
_f shear ¼ kw fw0ðrÞ
q
S : _ep ð9Þ
where w0(r) is a function of the stress state, characterized by the
normalized third invariant of the deviatoric stress tensor (n = 27J3/
2q3). The function w0(r) is given by:
w0ðrÞ ¼ wðnÞ ¼ 1ÿ ðnÞ2 ð10Þ
where J3 = det(s) is the third invariant of the deviatoric stress tensor,
s = r + pI. I is the unit tensor.
The parameter kw in Eq. (9) is the magnitude of the damage
growth rate in shear. w0(r) is formulated to make a distinction be-
tween stress state without shear (i.e. where w0(r)  0) and all
stress states describing the combined effects between pure shear
and hydrostatic pressure (where w0(r)  1).
However, this approach can have a significant influence on
some stress states with high levels of stress triaxiality. For exam-
ple, this is the case for uniaxial tension in a state of plane strain,
where the stress triaxiality is approximately 0.577. In this case,
the third invariant of the stress tensor n is zero and thus
w0(r)  1. The contribution to the development of shear damage
is maximized, despite a high level of stress triaxiality.
To overcome this drawback, Nielsen and Tvergaard [26] have
proposed another improvement to the model by introducing an
additional factor, X(g), in the shear damage evolution term, which
depends on the level of stress triaxiality. For this, w0(r) is ex-
pressed in following form:
W0ðrÞ ¼ wðnÞXðgÞ; with XðgÞ ¼
1; for g < g1
gÿg1
g1ÿg2 ; for g1 6 g 6 g2
0; for g > g2
8><
>:
ð11Þ
where g1 < g2 and w(n) are given by Eq. (10). This implies that the
Hutchinson and Nahshon model is used for g 6 g1, while the GTN
model is used for gP g2.
With the proposed extension, given in Eq. (11), the characteris-
tics of the GTN model are maintained for high stress triaxiality,
while at the same time conserving the improvements for ductile
shear fracture with low stress triaxiality.
Finally, after the addition of the new contribution for shear
loads, _f shear , the evolution of the total void volume fraction
becomes:
_f ¼ ð1ÿ f Þtrð _epÞ þ A _ep þ kw fwðrÞ
q
S : _ep ð12Þ
3.2. Finite element models
This improved Gurson model for shear loading conditions has
been implemented [31] in the ABAQUS/Explicit finite element
code, using a VUMAT subroutine [29].
The central zone of the specimens is meshed with 3D solid ele-
ments with eight nodes using reduced integration (type C3D8R).
The rest of the specimen is meshed with tetrahedral solid
elements. For both the smooth and notched tensile specimens
the planes of symmetry are exploited so that only one quarter of
the specimen is modeled. For the shear specimens, the complete
specimen is modeled. The mesh size in the fracture zone is
100 lm. This mesh size is compatible with the average spacing
between inclusions, determined via microscopic analysis. Fig. 12
shows the mesh used for the three specimen types.
3.3. Identification of material parameters
The modified Gurson model, implemented in ABAQUS/Explicit,
requires the identification of fourteen material parameters. These
are:
 The hardening parameters: ry, K and n.
 The macroscopic coefficients of the yield surface: q1 and q2.
 The initial void volume fraction f0, the void volume fractions
associated with coalescence fc and fracture ff.
 The void nucleation parameters: eN, SN and fN.
 The shear damage parameters: kw, g1 and g2.
The use of tensile tests on smooth specimens, to simultaneously
calibrate the hardening and damage parameters, is insufficient to
predict ductile rupture of the material over a wide stress triaxiality
range [32]. Consequently, the material parameters are determined
using three tests: (1) uniaxial tensile tests on smooth specimens
(2) uniaxial tensile tests on notched specimen (R = 20 mm) and
(3) shear tests. An inverse method is then used to identify the
parameters, via comparison between the experimental and numer-
ical force–displacement curves.
3.3.1. The initial void volume fraction
The initial voids volume fraction has been determined from
microstructural observations (Section 2.2) and methods recom-
mended in the literature [27,33–35]. In this work, the initial void
volume fraction is estimated by the inclusions volume fraction,
which corresponds to f0 = 0.0015.
3.3.2. The hardening parameters
The Ludwick equation has been used to model the material
hardening:
r0 ¼ ry þ KðepÞn ð13Þ
The hardening parameters: ry = 580 MPa (the initial yield
stress), K = 560 MPa (the hardening coefficient) and n = 0.51 (the
hardening exponent) are obtained by a best fit of Eq. (13) with
Fig. 12. The finite element mesh used for each test type: (a) smooth tensile specimens, (b) notched tensile specimens (R = 20 mm) and (c) shear specimens.
Fig. 13. Comparison between the Ludwick hardening law and the experimental
stress–strain curve.
the experimentally determined true stress–strain curves for tensile
tests on smooth specimens, up to the point of necking. Fig. 13
shows the comparison of the true stress–strain curve with the Lud-
wick equation.
3.3.3. The void nucleation parameters
The nucleation strain eN and the volume fraction of nucleated
voids fN are chosen to optimize the predictions for the maximum
strength and the decrease in strength after necking. This is done
based on the experimental notched tensile test results
(R = 20 mm). A standard deviation of SN = 0.1 is chosen for the void
nucleation law. Fig. 14a shows the influence of the strain nucle-
ation value eN on the maximum force (vertical dashed lines). It
can be concluded that increasing the value of eN shifts the position
of the maximum force in the direction of increasing displacement.
This corresponds to the start of the loss of rigidity of the material.
The best agreement with the experimental curve is obtained for a
strain nucleation value of eN = 0.2. Similarly, the volume fraction of
nucleated voids fN influences the position of the loss of rigidity of
the material given by the chute in the force/displacement curve
after the maximum force (Fig. 14b). The best agreement with the
experimental curve is obtained for fN = 0.02.
3.3.4. The yield surface coefficients: q1 and q2
For moderate hardening (n = 0.1), Tvergaard [36,37] found that
values q1 = 1.5 and q2 = 1, give the best fit with results obtained by
the cell model. Koplilik and Needleman [38] proposed new values
of q1 = 1.25 and q2 = 1 which provide good agreement with the re-
sults of numerical simulations using the GTN model. Other values
of q1 and q2 have been also proposed by Brocks [39]. Faleskog et al.
[40] have shown that the ultimate strength and hardening influ-
ence the values of q1 and q2. In addition, Kim et al. [13] have shown
that q1 and q2 depend on the stress triaxiality and the initial void
volume fraction. Recently, Dunand and Mohr [41] have showed
that the values of q1 = 1 and q2 = 0.7, identified from a punching
test, provide numerical predictions that are in good agreement
with experimental results.
Finally, it should be noted that all authors highlight the fact that
the parameters q1 and q2 have a significant influence and can be
used to improve the predictions from the GTN damage model.
Since q1 and q2 play the same role as the nucleation parameters,
in terms of the loss of rigidity in the force–displacement curve, the
shear test was chosen to calibrate q1 and q2. Fig. 15 shows the com-
parison between the experimental curve and the simulation re-
sults, for three parameter sets: [q1 = 1.5; q2 = 1], [q1 = 1.25; q2 = 1]
and [q1 = 1.2; q2 = 0.8]. The best agreement with the experimental
curve is obtained with q1 = 1.2 and q2 = 0.8 while at the same time
respecting the prediction of the force–displacement curve obtained
by tensile tests on notched specimens with R = 20 mm.
3.3.5. The critical void volume fraction fc and the void volume fraction
at fracture ff
The critical void volume fraction fc is the value at which mate-
rial damage begins to grow rapidly due to void coalescence.
Decreasing fc allows the material to rapidly achieve this initiation
point [42]. Fig. 16a shows the influence of different fc values on
the initiation point of void coalescence for tensile test on notched
specimens with R = 20 mm. A value fc = 0.08 gives the best agree-
ment with the experimental curve.
The void volume fraction at fracture ff is associated with the
complete loss of material stiffness. Reducing the value of ff leads
to an earlier drop in rigidity associated with a very steep negative
slope. The void volume fraction at fracture represents the end of
the coalescence phase. Fig. 16b shows the effect of ff on the predic-
tions obtained from tensile test simulations of notched specimen
with R = 20 mm. The value ff = 0.13 results in a good prediction
for the final fracture of the material with the respect of the fracture
initiation point.
3.3.6. Shear damage parameter kw
The shear damage parameter kw has been calibrated using the
shear test. Fig. 17 shows the force–displacement curves for two
values of kw. As expected, there is no shear damage predicted for
the case of kw = 0 where the damage model coincides with the clas-
Fig. 14. Influence of (a) the nucleation strain eN and (b) the void volume fraction at
nucleation fN on the prediction of the force–displacement curve for tensile tests on
notched specimens (R = 20 mm).
Fig. 15. Influence of the parameters q1 and q2 on the prediction of the force–
displacement curve for shear tests.
sical model of GTN. A good correlation with experimental results is
observed for kw = 0.86.
Note: It is interesting to note that the coefficients of the nucle-
ation law and the coefficients q1 and q2 have a similar influence on
the prediction of the force–displacement curve. Consequently, it is
necessary to use different tests to calibrate these parameter sets. In
addition, each calibration step is not independent of all subsequent
steps. For example, the results of numerical simulation in Fig. 15
depend on the values of the parameters q1 and q2. The calibration
procedure has been repeated iteratively until the numerical curves
are consistent with the experimental curves.
3.3.7. Weights coefficients (g1 and g2) proposed by Nielsen and
Tvergaard
The tensile tests on notched specimen with R = 20 mm are used
to identify the coefficients g1 and g2 which control the activation of
the shear damage accumulation term. Fig. 18 shows the curves ob-
tained with the Nielsen and Tvergaard extension and the improve-
ment proposed by Nahshon and Hutchinson. The displacement at
fracture is correctly predicted with g1 = 0.34 and g2 = 0.7. The acti-
vation of the shear damage accumulation term (i.e. the Nahshon
and Hutchinson extension) affects only slightly the fracture predic-
tion for tensile test on specimen with R = 20 mm. It is important to
note that this test is particularly suitable for the calibration of g1
and g2. In fact, the stress triaxiality increases continuously from
ginitial = 0.45 to gfracture = 0.76 due to localized necking [43]. Conse-
quently, the accumulation of damage occurs in this range of stress
triaxiality, where the shear damage term becomes progressively
inactive.
3.3.8. Comparison between the model predictions and experimental
results
All tests are simulated using the shear modified Gurson model
to evaluate its predictive capabilities. The identified parameters
are summarized in Table 5. Fig. 19 shows the force–displacement
curves for notched tensile tests and shear tests. The experimental
curves and numerically simulated curves are in good agreement
for all tests in terms of the fracture displacement with a difference
less than 1.5%. Fig. 20 summarizes the displacement at fracture,
predicted for the five tests, compared to the experimental results.
Remark: It is important to note that the results presented in this
article were obtained after identification of the model parameters
using a series for experimental tests, of our choosing. It should
be noted that the choice of different tests could result in different
parameters values for the modified Gurson model. That is, the re-
sults may become unstable or non-unique. It was emphasized in
the work of Mahnken and Stein [44] that there are two possible
reasons for the phenomenon of instability or non-uniqueness of
the values of the model parameters:
(1) A deficiency in the model due to, for example, a high degree
of linearity in its mathematical formulation that may not
reflect the reality.
(2) A deficiency in the experiment data used to identify the
model parameters. That is, not all the physical mechanisms
which the model is intended to take into account are
correctly activated during the tests.
Fig. 16. Influence of (a) the critical void volume fraction fc and (b) the final void
volume fraction ff on the prediction of the force–displacement curve for tensile tests
on notched specimen (R = 20 mm).
Fig. 17. Influence of the shear damage parameter kw of the prediction of the force–
displacement curve for shear tests.
Fig. 18. Influence of the weight coefficients g1 and g2 on the prediction of the
displacement at fracture for notched tensile specimens (R = 20 mm).
Table 5
Parameters of the shear modified Gurson model.
Parameters f0 q1 q2 SN fN eN fc ff kw g1 g2
Values 0.0015 1.2 0.8 0.1 0.02 0.2 0.08 0.13 0.86 0.34 0.7
Fig. 19. Comparison between the experimental force–displacement curves and the predictions obtained by FE simulations using the modified Gurson model for: (a) notched
specimens (R = 20 mm), (b) notched specimens (R = 10 mm), (c) notched specimens (R = 5 mm), (d) notched specimens (R = 2 mm) and (e) shear specimens.
However, due to the diversity of the test conditions selected in
this work (i.e. they cover a wide range of stress states), it is ex-
pected that the results presented in the article give an accurate
assessment of the performance of the model.
Future work should involve a more detailed study, by combin-
ing this macroscopic identification approach with quantitative
microscopic investigation techniques, such as tomography, in or-
der to better take into account the physical aspect of certain
parameters and thus lead to a more stable solution.
4. Application: punching process
In order to validate the numerical modeling approach presented
in the previous section, a series of experimental punching tests are
carried out and compared with the numerical results.
4.1. Experimental procedure
Punching tests were carried out using a tool assembly mounted
on a hydraulic press (type MIB with capacity of 100 tons), equipped
with force and displacement sensors. The assembly consists of a
punch and a die with circular shapes (Fig. 21). Two punches with
two different diameters Dpwere used in order to vary the clearance
between the punch and the die. The standard clearance is calcu-
lated as a percentage of sheet thickness by the following
expression:
Jð%Þ ¼ Dd ÿ Dp
2t
100 ð14Þ
with Dp is the punch diameter and Dd is the die diameter. (J = 7% and
13% of the thickness of the sheet).
The radii of the cutting edges of the punch and the die are equal
to 0.01 mm. A load cell of type FGS (Fine Guidance Sensor, refer-
ence: FN-2554) with a maximum capacity of 50 tons is attached
to the block punch to directly measure the applied force. The
punch displacement is measured by a position sensor (BALLUFF
02F9-BTL). Both sensors are connected to the data acquisition sys-
tem used to record data during the tests. The punching speed
(which defines the cutting speed) is 300 mm/min.
4.2. Finite element simulations
The ABAQUS/Explicit finite element software has been used to
simulate the punching process in 2D using the assumption of axi-
symmetry. The simulation conditions and initial finite element
mesh are shown in Fig. 22. The elements in the shear zone have
a size of 100  100 lm. Four-node axisymmetric brick elements
with reduced integration (CAX4R in ABAQUS/Explicit) are used.
The Coulomb friction model is used to model the contact between
the sheet and tools with a friction coefficient of 0.1. The punch and
the die are considered to be rigid bodies. The ALE mesh option
(Arbitrary Lagrangian Euleurian) [29] is activated so as to avoid
element distortion. Two ductile fracture models are investigated
to test their predictive capacity for the punching process:
– The classical GTN model.
– The GTN model modified for shear loads (studied in this work).
4.3. Prediction of load/penetration curves
Fig. 23 shows a comparison between the experimental and
numerical load/displacement curves. Numerical curves for both
Fig. 20. Comparison between the predicted and experimental values of the
normalized displacement at fracture.
Fig. 21. Punching tools.
the classical GTN model and the modified GTN model are shown.
The numerical curves have a similar shape to the experimental
curves for both clearances. It is observed that the modified GTN
model provides better predictions for the maximum punching
load, compared to the classic GTN model, for both clearances.
In the following, Ur is defined as the punch penetration associ-
ated with the fracture initiation corresponding to the drop in the
load/displacement curves. It can be observe that the modified
GTN model gives good predictions for the penetration at fracture
initiation Ur, when compared to the classic GTN model, for both
clearances. Table 100 summarizes the prediction errors for the
penetration at fracture initiation.
5. Conclusion
The present study has been organized in two distinct parts:
(1) The first was an experimental study concerning the damage
behavior of the material for different stress states. From this
work, the following conclusions can be made:
– The stress state influences the evolution of the damage
mechanisms. For the case of shear dominated rupture,
which is associated with low levels of stress triaxiality,
the damage mechanisms can be described by a void
nucleation phase, based on the fragmentation and/or
debonding of the inclusions in the matrix. This is fol-
lowed by elongation of the cavities and rotation in the
shearing directions before the onset of coalescence. The
micro-movement of the cavities observed in this study
has been neglected in most work concerning the model-
ing of ductile fracture due to shear.
– The stress state also influences the macroscopic behavior
of the material and the morphology of the fracture
surface.
(2) The second part of the article was dedicated to the finite ele-
ment modeling of the damage phenomenon. This work was
focused on:
– The use of a Gurson type damage model, recently pro-
posed to improve fracture predictions under conditions
of both low and high stress triaxiality. This new approach
is able of predicting shear softening via a parameter
describing the magnitude of damage accumulation kw.
– An identification strategy to determine the model param-
eters has been proposed, which is based on an experi-
mental campaign that covers a wide range of stress
states (both in terms of stress triaxiality and the third
stress invariant). The use of these parameters in FE mod-
els result in good agreement with the experimental
results in terms of predicting rupture, for the material
investigated.
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